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ABSTRACT 

The performance of a composite hydrogen storage tank with TPRD in an engulfing fire is studied. 
The non-adiabatic tank blowdown model, including in fire conditions, using the under-expanded jet 
theory is described. The model input includes thermal parameters of hydrogen and tank materials, 
heat flux from a fire to the tank, TPRD diameter and TPRD initiation delay time. The unsteady heat 
transfer from surroundings through the tank wall and liner to hydrogen accounts for the degradation 
of the composite overwrap resin and melting of the liner. The model is validated against the 
blowdown experiment and the destructive fire test with a tank without TPRD. The model accurately 
reproduces experimentally measured hydrogen pressure and temperature dynamics, blowdown time, 
and tank’s fire-resistance rating, i.e. time to tank rupture in a fire without TPRD. The lower limit 
for TPRD orifice diameter sufficient to prevent the tank rupture in a fire and, at the same time, to 
reduce the flame length and mitigate the pressure peaking phenomenon in a garage to exclude its 
destruction, is assessed for different tanks, e.g. it is 0.75 mm for largest studied 244 L, 70 MPa tank. 
The phenomenon of Type IV tank liner melting for TPRD with lower diameter is revealed and its 
influence on hydrogen blowdown is assessed. This phenomenon facilitates the blowdown yet 
requires further detailed experimental validation. 

KEYWORDS: hydrogen storage tank, blowdown, fire-resistance rating, specific heat release rate, 
TPRD diameter and activation time, liner melting phenomenon. 

NOMENCLATURE 

𝐴௜௡௧ internal surface of a tank m2 

𝑏 co-volume constant of gas in Abel-Noble equation m3/kg 

𝐶஽ discharge coefficient - 

𝑐௣,௔௜௥ specific heat capacity of air J/kg/K 

𝑐௣,௚ specific heat capacity of gas at constant pressure J/kg/K 

𝑐௣௪ specific heat capacity of tank wall material J/kg/K 

𝐷 diameter  m 

𝑔 gravity acceleration  m/s2 

𝐻ௗ resin heat of decomposition J/kg 

ℎ௢௨௧ enthalpy going out of the tank J/kg 

𝑘 heat transfer coefficient at a wall surface  W/m2/K 

𝐿 length m 

𝑀 molar mass kg/mol 

�̇� entrainment mass flow rate kg/s 

𝑚 mass kg 

𝑛 control volume number - 

𝑁𝑢஽௜௡ Nusselt number inside a tank - 
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𝑃 pressure Pa 

𝑃𝑟௔௜௥ Prandtl number of air - 

𝑄 

𝑞" 

heat into a system from the surroundings 

heat flux 

J 

W/m2 

𝑅𝑎஽௜௡ Rayleigh number of gas inside a tank - 

𝑅௚ hydrogen gas constant m2/s2/K 

S source term, thickness J/m3/s, m 

𝑇 temperature K 

𝑡 time s 

𝑢 velocity m/s 

𝑈 total internal energy of gas inside a tank J 

𝑉 tank volume  m3 

𝑥 distance m 

𝑍 compressibility factor - 

𝜆 thermal conductivity  W/m/K 

𝜇௚ gas dynamic viscosity  Pa.s 

μair air viscosity Pa.s 

𝜌 density kg/m3 

𝛽 thermal expansion coefficient of gas inside a tank K-1 

𝛽ௗ decomposition fraction - 

𝛾 specific heats ratio - 

Subscripts 

𝑎𝑖𝑟 air 

𝑎𝑚𝑏 ambient 

𝑏. 𝑚𝑖𝑛. burst minimum pressure 

𝐶𝐹𝑅𝑃 carbon fibre reinforced polymer 

𝑐𝑜𝑛𝑑 conduction 

𝑐𝑜𝑛𝑣 convection 

𝑑 decomposition 

𝑒𝑥𝑡 external 

𝑔 gas 

𝐻𝐷𝑃𝐸 high-density polyethylene 

𝐻𝑒 helium 

𝐻2 hydrogen 

𝑖𝑛𝑡 internal 

𝑖𝑛𝑡 𝑛𝑎𝑡𝑢𝑟𝑎𝑙 internal natural 

𝑙𝑜𝑎𝑑 𝑏. load-bearing 

𝑁𝑊𝑃 nominal working pressure 

𝑇𝑃𝑅𝐷 thermally activated pressure relief device 

𝑤 wall 
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𝑤(𝑒𝑥𝑡) wall external side 

𝑤(𝑖𝑛𝑡) wall internal side 

𝑤(𝑛) wall grid point “n” 

1 inside the tank 

2 real nozzle exit 

3 notional nozzle exit 

Superscript 

0 initial 

𝑖 iteration 

 

ABBREVIATIONS 

BPR burst pressure ratio 

CFD computational fluid dynamics 

CFRP carbon fibre reinforced polymer 

CGH2 compressed gaseous hydrogen 

CNG compressed natural gas 

COPV composite overwrapped pressure vessel 

CV control volume 

EOS equation of state 

FRR fire-resistance rating 

GTR Global Technical Regulation 

H2 hydrogen 

HDPE high-density polyethylene 

HGV heavy goods vehicle 

HPV hydrogen-powered vehicle 

HRR heat release rate 

HRR/A specific heat release rate 

ISO International Organization for Standardization 

LDV light-duty vehicle 

NWP nominal working pressure 

OEM original equipment manufacturer 

PPP pressure peaking phenomenon 

RCS regulations, codes and standards 

TPRD thermally activated pressure relief device 

1. INTRODUCTION 

The market of high-pressure hydrogen storage tanks for road, rail, marine, aviation, and stationary 
domestic and industrial applications includes mainly lightweight composite Type III (aluminium 
liner) and Type IV (polymer liner) tanks. There is a variety of capacities of hydrogen tanks. For 
instance, a passenger car could have a couple of tanks with about 5 kg of hydrogen in total [1], buses 
could store onboard around 50 kg and trains 100-200 kg. Hydrogen onboard storage pressure is 
currently 35 MPa (buses, trains, etc.) and 70 MPa (cars, trucks, etc.). The storage pressure could be 
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up to 95 MPa [2]. Tank volume ranges from 7.5 L to 360 L. For example, a ship hydrogen storage 
system [3] comprises 9x35 MPa cylinders of 8.5 kg hydrogen each, i.e. 360 L volume tanks as can 
be calculated using real gas equation of state (EOS).  

Besides many advantages such as lightweight and strength, the main weakness of composite tanks 
is a reaction to fire. To prevent tank’s rupture in a fire and its catastrophic consequences, i.e. blast 
wave, fireball and projectiles, the UN GTR#13 [4] and the EU Regulations No.134 [5], [6] assume 
that thermally activated pressure relief device (TPRD) is installed on hydrogen onboard storage 
tanks to release hydrogen and exclude rupture in a fire. However, the performance of a tank-TPRD 
system in a fire is not yet fully understood and thus the requirements to the comprehensive safety 
design of a tank-TPRD system are not yet available. This study addresses this knowledge gap. 

The paper focuses on the analysis of tank-TPRD system performance in the engulfing fire only. The 
continuous localised fire that does not affect TPRD will result in a tank rupture early or later. Indeed, 
in the case of a localised fire, a TPRD may not start releasing gas being distant from high 
temperature. This was observed in accidents with CNG storage tanks equipped by TPRDs [7]–[9]. 
The scenarios when TPRD is obstructed from the fire during an accident or simply not performing 
due to non-zero failure probability are out of the scope of this study.  

1.1. Dependence of tank FRR on HRR/A in a fire 

One typical scenario of a vehicle fire is a gasoline or diesel spill fire characterised by the specific 
heat release rate of HRR/A=1-2 MW/m2 [10]–[12]. For example, diesel fires in the pan with or 
without gravel [12] generate HRR/A=0.9 MW/m2 and HRR/A=1.5 MW/m2 respectively.  

Another scenario is a tyre fire. The total HRR for a tyre fire in the study [12] is HRR=0.19 MW. To 
calculate HRR/A for vertically and horizontally placed tyre the area of the tyre projections should 
be calculated first, and then the specific heat release rate can be calculated as HRR/A=1.36 MW/m2 
and HRR/A=0.95 MW/m2 respectively.  

The examples above describe potential fire sources in case of arson or post-crash fire that can impact 
an onboard tank, e.g. when a hydrogen-powered vehicle (HPV) is overturned. The fire resistance 
rating (FRR), i.e. time to tank rupture in a fire without TPRD (simulation of scenarios of a localised 
fire, failed or blocked TPRD), of currently used tanks is 4-6 min as evidenced by experimental data 
[13], [14]. The FRR decreases with the increase of HRR/A and reaches a “plateau” at HRR/A>1 
MW/m2 [15]. The localised portion of the fire test of GTR#13 [4] and R134 [5] requires the 
hydrogen tank to withstand localised fire for 10 min before switching to the engulfing portion. Thus, 
the use of gasoline/diesel fire or other material fires with similar HRR/A would imply tank rupture 
during the localised portion of the fire test following GTR#13 and R134 protocols. There are two 
ways around this serious safety issue of tank rupture during the regulated localised fire test. The 
first solution is to increase the tank’s FRR beyond 10 min or to use explosion free in fire TPRD-less 
tanks invented at Ulster. The second “way around” for the tank to pass the fire test is to decrease 
HRR/A of the fire source to the level when the tank’s FRR shall exceed 10 min, e.g. to introduce 
the upper limit HRR/A=0.35 MW/m2. Obviously, this “solution” could have serious safety 
implications in real life. 

The quantitative risk assessment [16] of the use of HPVs on London roads demonstrated that the 
risk is acceptable if the FRR of onboard storage tanks is above 50 min, i.e. much longer than 4-6 
min what unprotected storage tanks could currently provide in real fires with HRR/A>1 MW/m2. 

1.2. Dependence of hydrogen hazards on TPRD release diameter 

The former “intuitive” approach, i.e. quickly release hydrogen from a tank in a fire using a 
comparatively large TPRD diameter of 5-6 mm to prevent its rupture, has no scientific background 
and brings several serious safety drawbacks. One of them is a large flame length which is known to 
be directly proportional to the TPRD diameter [17]. For example, the flame length from 6 mm 
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diameter TPRD (here and throughout the paper the TPRD diameter is considered as the minimum 
diameter in the release path) from 87.5 MPa storage tank is longer than 21 m. It is worth mentioning 
here that the “no-harm” hazard distance is 3.5 times longer than free flame length for momentum-
dominated jets [17]. The second drawback of a larger diameter TPRD is the delayed ignition of a 
highly turbulent hydrogen jet that could generate pressure loads able to seriously injure people [17]. 
The third shortcoming is related to confined spaces like tunnels, underground parking, warehouses, 
etc. In confine space, an unignited release from a large diameter TPRD could create a flammable 
cloud/layer under a ceiling that, if ignited, would undergo deflagration or even transit to detonation, 
the last is being the worst-case scenario for hydrogen incident to be avoided by all means. Yet, there 
is an even more serious disadvantage of larger diameter TPRDs. This is the pressure peaking 
phenomenon (PPP) which is characteristic for hydrogen only compared to other fuels [18]–[22]. 
The ISO standard 19882:2018 [23] requires: “The adequacy of flow capacity of pressure relief 
devices for a given application is to be demonstrated by … the minimization of the hazardous effects 
of the pressure peaking phenomenon”. It is known that civil structures can withstand without 
damage the overpressures of the order of 10 kPa. In garages with vent area of the order of brick size, 
the overpressure threshold of 10 kPa would not be exceeded if TPRD diameter is fractions of a 
millimetre.  

Smaller diameter TPRDs could eliminate all four mentioned above safety concerns. This paper aims 
to find out a lower limit of TPRD diameter that is sufficiently “large” to exclude a tank rupture in a 
fire and still adequately “small” to exclude large flames, hazardous pressure loads from delayed 
ignition of the under-expanded jet, formation and deflagration/detonation of the flammable 
hydrogen-air layer in confined space, and the destructive PPP in garage-like enclosures. This aim 
can also be achieved by using innovative explosion free in fire TPRD-less tanks [24], but this 
breakthrough safety technology is the subject of another paper. 

1.3. Failure mechanism of a composite tank subject to fire 

The thermal behaviour of a tank-TPRD system in an engulfing fire requires an understanding of 
underlying physical phenomena. Hydrogen temperature and pressure inside the tank are affected by 
two acting in opposite directions phenomena. The blowdown decreases hydrogen temperature and 
pressure inside the tank. The heat transfer from fire through the tank wall increases hydrogen 
temperature and pressure. The heat flux from the fire increases the composite temperature and a part 
of this heat flux is used to decompose the resin of the wall composite starting from the external tank 
surface.  

The composite tank failure mechanism validated in our studies is as follows. The resin 
decomposition front is determined by a significant resin mass loss due to the energy transferred 
from a fire and being partially spent on the decomposition. There are many physical and chemical 
processes happening to the composite material under heat flux, including glass transition, ignition, 
gasification, etc. For instance, the study [25] examines the complex degradation process of the 
composite with different fibre content. The main phenomenon that defines a tank rupture in fire is 
the resin mass loss and thus inability to bond fibre plies and maintain the composite material 
strength. In other words, when the resin is decomposed the carbon plies in these locations become 
“unbound” or “loose” and the composite turns not load-bearing. The regulations establish a 
requirement for the minimum burst pressure of carbon fibre reinforced polymer (CFRP) 
overwrapped tank as 2.25 times NWP. This means that the needed load-bearing wall thickness 
fraction to withstand pressure equal to NWP is only 1/2.25, i.e. 0.44 of the wall thickness. This 
fraction increases if the pressure inside the tank grows, e.g. due to hydrogen temperature increase. 
The tank without TPRD ruptures when moving inwards the resin decomposition front meets the 
moving outwards load-bearing wall thickness fraction. This represents the tank failure mechanism 
applied in our studies. Dadashzadeh et al. [26] modelled scenarios of non-adiabatic tank blowdown 
and FRR assessment of a tank without TPRD separately. Here we study a tank-TPRD system 
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performance in conditions when both the blowdown and fire affect the system performance 
simultaneously. 

This study aims at the understanding of thermal behaviour of a tank-TPRD system in a fire and the 
development of a methodology to optimise the TPRD diameter to prevent both tank rupture in a fire 
and allow parking of HPVs in confined spaces like garages and maintenance shops without risk of 
civil structure destruction by PPP. To achieve the aim the physical model is developed and validated 
against non-adiabatic tank blowdown test and destructive fire test of a tank without TPRD. The 
model is based on the under-expanded jet theory and accounts for various parameters and 
phenomena known to affect the performance of a tank-TPRD system: hydrogen tank volume, 
storage pressure, temperature, wall and liner materials and thickness; TPRD release diameter and 
initiation delay time; radiative heat transfer from the fire to the tank surface, convective heat transfer 
from a fire to the external wall surface and from the liner to hydrogen; conductive heat transfer 
through the load-bearing wall and the liner; thermal degradation of the composite resin; melting of 
the liner, etc.  

2. THE UNDER-EXPANDED JET THEORY FOR NON-ADIABATIC TANK 
BLOWDOWN 

The under-expanded jet theory [17],[27] is used to calculate the hydrogen parameters inside a tank, 
at real (TPRD) nozzle exit, and notional nozzle exit during the tank blowdown. It has been 
intensively used to calculate flow parameters at the notional nozzle exit applied as a boundary in 
computational fluid dynamics (CFD) studies of hydrogen releases and dispersion to make 
simulation time reasonable. Previously the theory was available only for adiabatic and isothermal 
conditions at the internal tank wall. Here the under-expanded jet theory is expanded to the non-
adiabatic formulation when a tank-TPRD system thermal behaviour is affected by both the 
blowdown of hydrogen and the heat transfer from the fire. Figure 1 shows schematically parts of a 
tank, its wall and an under-expanded jet.  

 

Figure 1. Schematic diagram of a pressurised tank: 1 - internal tank space, 2 - real nozzle exit 
(TPRD), 3 - notional nozzle exit [26]. 

Unsteady heat transfer equation is applied to calculate the conductive heat transfer through the tank 
wall using the finite-difference method [28]. The resin of the composite tank decomposes when the 
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local temperature exceeds the decomposition value [29]–[33]. Nusselt number correlations are 
applied to calculate the heat transfer coefficient for natural and forced convection [34]. 

Hydrogen parameters inside the tank are calculated by the Abel-Noble real gas EOS [18]: 

𝑃ଵ = 𝑍𝜌ଵ𝑅ுమ
𝑇ଵ,      (1) 

where 𝑍 = 1 (1 − 𝑏𝜌ଵ)⁄  is the compressibility factor, 𝑃ଵ, 𝜌ଵ and 𝑇ଵ are the pressure, density and 
temperature respectively.  

The first law of thermodynamic is applied to bring together the rate of change of hydrogen internal 
energy in the tank, the rate of heat transfer to/from hydrogen through the tank wall, including liner, 
and the rate of enthalpy decrease due to hydrogen outflow: 
ௗ௎

ௗ௧
=

ௗொ

ௗ௧
− ℎ௢௨௧

ௗ௠

ௗ௧
.  (2) 

The enthalpy of real gas hydrogen flowing out of the tank is ℎ௢௨௧ = 𝑐௣,௚𝑇ଵ + 𝑏𝑃ଵ [18]. The enthalpy 
equation for the Abel-Noble gas is amended here by the term “𝑏𝑃ଵ” compared to [17]. 

The internal energy of real gas is [35]: 

𝑈 =
௉భ(௏ି௠భ௕)

ఊିଵ
.  (3) 

The rate of convective heat transfer at the internal tank wall surface is [36]: 
ୢொ

ୢ௧
= 𝑘௜௡௧𝐴௜௡௧൫𝑇௪(௜௡௧) − 𝑇ଵ൯.  (4) 

The heat transfer coefficient at the internal tank surface, 𝑘௜௡௧, is calculated as a function of Nusselt 
number, internal tank diameter, and hydrogen thermal conductivity interpolated for different 
pressure and temperature as [37]: 

𝑘௜௡௧ =
ఒ೒×ே௨ವ೔೙

஽೔೙೟
.  (5) 

This study takes into account only natural convection for the internal tank surface. This is based on 
the conclusion of the study [34] that unlike the filling of a tank where a mixed convection regime 
(forced and natural) is suitable, in the case of discharging a tank, the application of natural 
convection provides a better model performance. Natural convection Nusselt number, 𝑁𝑢஽௜௡, is 
calculated by the empirical equation [34]: 

𝑁𝑢஽௜௡ = 0.104 × ൬
௚ఉห భ்ି்ೢ(೔೙೟)ห௖೛,೒(ఘభ)మ஽೔೙೟

య

ఓ೒ఒ೒
൰

଴.ଷହଶ

.  (6) 

Differentiating Eq. (3) and considering the heat transfer rate defined by Eq. (4), the differential 
equation for calculation of hydrogen pressure in the tank, 𝑃ଵ, can be derived from Eq. (2) as: 

ୢ௉భ

ୢ௧
=

೏೘

೏೟
∙ቀ

ುభ
ംషభ

ି௖೛,೒∙ భ்ି௕௉భቁା௞೔೙೟஺೔೙೟൫்ೢ(೔೙೟)ି భ்൯

ೇష೘భ∙್

ംషభ

.  (7) 

The temperature of hydrogen inside the tank in the assumption of uniformity is: 

𝑇ଵ =
௉భ(ଵି௕ఘభ)

ఘభோಹమ

,  (8) 

where the density is calculated as 𝜌ଵ =
௠భ

௏
. 

Hydrogen density at the real nozzle exit, 𝜌ଶ, is calculated by solving the transcendental equation of 
isentropic expansion [17]: 

ቂ
ఘభ

ଵି௕ఘభ
ቃ

ఊ

= ቂ
ఘమ

ଵି௕ఘమ
ቃ

ఊ

∙ ቂ1 + ቀ
ఊିଵ

ଶ(ଵି௕ఘమ)మ
ቁቃ

ఊ
ఊିଵൗ

.  (9) 

Hydrogen temperature at the real nozzle exit is calculated using the energy conservation equation 
[17]: 
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భ்

మ்
= 1 +

ఊିଵ

ଶ(ଵି௕ఘమ)మ
.  (10) 

The Abel-Noble EOS [18] is used to calculate the pressure at the real nozzle exit: 

𝑃ଶ =
ఘమோ೒ మ்

ଵି௕ఘమ
.  (11) 

Due to choked flow conditions, hydrogen velocity at the real nozzle exit is equal to the local sound 
velocity [17],[18]: 

𝑢ଶ =
൫ఊோ೒ మ்൯

బ.ఱ

ଵି௕ఘమ
.  (12) 

The energy conservation equation [17],[27] is employed to calculate hydrogen temperature at the 
notional nozzle exit: 

𝑇ଷ =
ଶ మ்

ఊାଵ
+

(ఊିଵ)

(ఊାଵ)
∙

௉మ

ఘమ(ଵି௕ఘమ)ோ೒
.  (13) 

Hydrogen pressure at the notional nozzle exit is assumed to be equal to the ambient pressure, 𝑃௔௠௕. 
Hydrogen density at the notional nozzle exit is then: 

𝜌ଷ =
௉ೌ೘್

௉ೌ೘್௕ାோ೒ య்
.  (14) 

Hydrogen velocity at the notional nozzle exit is equal to the local speed of sound [17],[27]: 

𝑢ଷ =
൫ఊோ೒ య்൯

బ.ఱ

ଵି௕ఘయ
.  (15) 

The mass conservation equation between the real and notional nozzle exits is applied to calculate 
the diameter of the notional nozzle:  

𝐷ଷ = 𝐷ଶට𝐶஽
ఘమ௨మ

ఘయ௨య
,  (16) 

where D2 is the real nozzle exit diameter, D3 is the notional nozzle exit diameter, and CD is the 
discharge coefficient, which accounts for friction and minor losses in the flow path from the tank 
to the atmosphere affecting the mass flow rate from the system.  

The mass flow rate is then: 

�̇� =
ఘయ௨యగ(஽య)మ

ସ
.  (17) 

The mass flow rate is updated at each time step and then is used as input to Eq. (7). 

The model solves the unsteady heat conduction equation through the tank wall that can be found 
elsewhere [28]: 

𝜌௪𝑐௣௪
ௗ்ೢ

ௗ௧
=

ௗ

ௗ௫
ቀ𝜆௪

ௗ்ೢ

ௗ௫
ቁ + 𝑆.  (18) 

The heat of resin decomposition is introduced into the energy sink term, S. This heat is consumed 
within the range of decomposition temperatures [38]. The source term is implemented following 
[29]–[33]: 

𝑆 = −𝜌௪𝛽ௗ
ௗு೏

ௗ௧
,  (19) 

where 𝛽ௗ is the decomposition factor, 𝐻ௗ is the resin decomposition heat. The decomposition factor 
𝛽ௗ varies between 0 and 1 in each CV, and is governed by the following conditions: 𝛽ௗ = 0 if 
𝑇௪(௡) < 𝑇ௗଵ or 𝑇௪(௡) > 𝑇ௗଶ, and 𝛽ௗ = 1 if 𝑇ௗଵ ≤ 𝑇௪(௡) ≤ 𝑇ௗଶ. Here 𝑇ௗଵ and 𝑇ௗଶ are the initial and 
final temperatures of the resin decomposition range, respectively. The energy sinks in the CV while 

𝛽ௗ=1. The rate of the decomposition heat change, 
ௗு೏

ௗ௧
, can be expressed through the decomposition 

temperature range: 
ௗு೏

ௗ௧
=

ௗ்ೢ

ௗ௧
∙

ு೏

்೏మି்೏భ
.  (20) 
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The boundary conditions at internal and external tank surfaces are respectively: 

𝑞௖௢௡ௗ
"    (𝑖𝑛𝑡𝑒𝑟𝑛𝑎𝑙) = 𝑞௖௢௡௩

" ⇒  𝜆௪
ௗ்ೢ (೙)

ௗ௫
ቚ

௡ୀ௜௡௧
= 𝑘௜௡௧൫𝑇ଵ − 𝑇௪ (௜௡௧)൯,  (21) 

 𝑞௖௢௡ௗ
"    (𝑒𝑥𝑡𝑒𝑟𝑛𝑎𝑙) = 𝑞௖௢௡௩

" ⇒ −𝜆௪
ௗ்ೢ (೙)

ௗ௫
ቚ

௡ୀ௘௫௧
= 𝑘௘௫௧൫𝑇௪ (௘௫௧) − 𝑇௔௠௕൯.  (22) 

The external convective heat transfer coefficient, 𝑘௘௫௧, does not have a significant effect on the heat 
transfer [28],[39]. For the model validation against the blowdown experiment without fire, 𝑘௘௫௧=6 
W/m2/K is accepted in Eq. (22) [39].  

The heat flux from the fire to the tank in our study is extracted from 3D simulations of the tank 
located in a fire with characteristic for gasoline/diesel fire HRR/A=1 MW/m2. The maximum heat 
flux was located on the dome part of the tank. The heat flux (in W/m2) as a function of time (in 
seconds) for HRR/A=1 MW/m2 (similar dependencies for other HRR/A measured in the validation 
experiment are presented further in this paper) is: 

𝑞”= (-11.81∙ ln (𝑡) + 113.97) ∙ 10ଷ.  (23) 

The heat flux on the dome part was selected as it was the largest in the simulations, which is due to 
the thinnest wall thickness at the tank dome (this is an example of improper tank design related to 
fire resistance). The use of 𝑞" allows simplifying Eq. (22) for cases with external fire to: 

𝑞௖௢௡ௗ
"    (𝑒𝑥𝑡𝑒𝑟𝑛𝑎𝑙) = 𝑞௖௢௡௩

" ⇒     −𝜆௪
ௗ்ೢ (೙)

ௗ௫
ቚ

௡ୀ௘௫௧
= 𝑞". (24) 

The system of equations is solved iteratively. Initial conditions (iteration number 𝑖 = 0) are: 

�̇�଴ =0, 

𝜌ଵ
଴ =

௉భ
బ

௉భ
బ∙௕ାோౝ∙ భ்

బ,  

 𝑚ଵ
଴ = 𝑉 ∙ 𝜌ଵ

଴,  

𝑁𝑢௜௡௧
଴ = 0.104 × ቆ

௚ఉቚ భ்
బି்ೢ (೔೙೟)

బ ቚ௖೛,೒൫ఘభ
బ൯

మ
஽೔೙೟

య

ఓ೒ఒ೒
ቇ

଴.ଷହଶ

,  

𝑘௜௡௧ ௡௔௧௨௥௔௟
଴ =

ఒ೒∙ே௨೔೙೟ ೙ೌ೟ೠೝೌ೗
బ

஽೔೙೟
.  

Table 1 shows the model input parameters.  

Table 1. Input parameters, calculation procedure and output parameters of the model. 

Input parameters 

𝑉, 𝑏, 𝛾, 𝑇௔௠௕, 𝑃௔௠௕, 𝑞", 𝑇ଵ
଴, 𝑇௪

଴, 𝑃ଵ
଴, 𝐴௜௡௧, ∆𝑥, ∆𝑡, 𝑅௚, 𝑀௚, 𝜌௪(௡), 𝑐௣ ௪(௡), 𝜆௪, 𝑘௘௫௧, 𝐶஽, 𝐷௜௡௧, 

𝐷௢௨௧, 𝑔, 𝛽, 𝑇௪
଴, 𝑘௜௡௧

଴ , 𝑐௣,௚, 𝜇௚, 𝜆௚, 𝜌ଵ
଴,  𝑚ଵ

଴, 𝑞", 𝑆ு஽௉ா, 𝑆஼ிோ௉, 𝐻ௗ, 𝑇ௗଵ, 𝑇ௗଶ  

Calculation procedures 

Iteration steps  Output parameters 

1 Hydrogen mass in a tank, (𝑚ଵ
௜ = 𝑚ଵ

௜ିଵ + ቀ
ௗ௠

ௗ௧
ቁ ∆𝑡) 

2 Hydrogen density, 𝜌ଵ =
௠భ

௏
 

3 Pressure change (
ௗ௉భ

ௗ௧
), Eq. (7)  

4 Hydrogen pressure (𝑃ଵ), 𝑃ଵ
௜ = 𝑃ଵ

௜ିଵ + ቀ
ௗ௉భ

ௗ௧
ቁ ∆𝑡 

5 Hydrogen temperature (𝑇ଵ), Eq. (8) 

6 Hydrogen density at real nozzle exit (𝜌ଶ), Eq. (9) 
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7 Hydrogen temperature at real nozzle exit (𝑇ଶ), Eq. (10) 

8 Hydrogen pressure at real nozzle exit (𝑃ଶ), Eq. (11) 

9 Hydrogen velocity at real nozzle exit (𝑢ଶ), Eq. (12) 

10 Hydrogen temperature at notional nozzle exit (𝑇ଷ), Eq. (13) 

11 Hydrogen density at notional nozzle exit (𝜌ଷ), Eq. (14) 

12 Hydrogen velocity at notional nozzle exit (𝑢ଷ), Eq. (15) 

13 Notional nozzle exit diameter (𝐷ଷ), Eq. (16) 

14 Mass flow rate (�̇� =
ௗ௠

ௗ௧
), Eq. (17) 

16 Transient temperature within tank wall (𝑇௪), Eq. (18) 

17 Wall (liner in this study) internal surface temperature (𝑇௪ (௜௡௧)), Eq. (21) 

18 Wall external surface temperature (𝑇௪ (௘௫௧)) 

Eq. (22) for blowdown without fire 

Eq. (24) for blowdown in fire conditions 

20 Heat transfer coefficient at the internal wall surface (𝑘௜௡௧), Eq. (5) 

21 Repeating steps 1 to 20 if 𝑃ଵ 𝑃௔௠௕⁄  > 1.9. else simulation is stopped. 

 

The model simulates the dynamics of hydrogen pressure and temperature inside the tank, the 
temperature profile within the load-bearing wall and the liner, the tank blowdown time without and 
with the fire, the FRR. 

3. THE MODEL VALIDATION 

3.1. Validation against the blowdown experiment  

The blowdown validation experiment was carried out at the Karlsruhe Institute of Technology (KIT) 
[26]. The impinging jet test platform was used with a high-pressure Type IV tank of volume 19 L 
connected to a release nozzle of 1 mm diameter. The vessel was filled to 70 MPa by helium and 
then cooled down to room temperature (293 K) before the test. Table 2 presents the tank 
characteristics. The temperature dynamics inside the tank was measured by a thermocouple installed 
in the middle of the tank. Pressure dynamics inside the tank was also measured during the test. 

Table 2. Dimensions and properties of the 19 L, 70 MPa tank used in the blowdown validation 
experiment and as input in the simulations. 

Parameter Value Reference 

Tank dimensions 

𝑉, L 19 [40] 

𝐷௜௡௧, mm 180 [40] 

𝐷௢௨௧, mm 228 [40] 

𝐿, mm 0.904 [40] 

HDPE liner 

𝑆ு஽௉ா, mm 7 [38] 

𝜆, W/m/K 0.385 [41] 

𝑐௣, J/kg/K 1584 [41] 

𝜌, kg/m3 945 [41] 
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CFRP structural layer 

𝑆஼ிோ௉, mm 17 [38] 

𝜆, W/m/K 0.5 [42] 

𝑐௣, J/kg/K 1020 [42] 

𝜌, kg/m3 1360 [42] 

 

Table 3 shows the input parameters used to perform the helium blowdown validation experiment 
simulations. 

Table 3. Input parameters for the blowdown validation experiment simulations. 

Parameter Value Reference 

𝑐௣,௚, J/kg/K Interpolated function [43] 

𝜆௚, W/m/K Interpolated function [43] 

𝛽, 1/K Interpolated function [43] 

𝑅ு௘, Nm/kg/K 2080 [43] 

𝛾௚ 1.66 [43] 

𝑏, m3/kg 2.67∙10-3 [44] 

𝑀௚, g/mol 4.003 [43] 

g, m/s2 9.81 Acceleration of gravity 

𝑇௔௠௕, K 293 Assumption 

𝑃௔௠௕, Pa 1.01∙105 Assumption 

𝑇ଵ
଴, K 293 KIT experiment 

𝑃ଵ
଴, Pa 7.00∙107 KIT experiment 

𝜌ଵ
଴, kg/m3 8.80∙101 Eq. (29) 

𝑚ଵ
଴, kg/m3 1.67 Eq. (30) 

𝜇௔௜௥, Pa∙s 1.98∙10-5 [45] 

𝑐௣,௔௜௥, J/kg/K 1.01∙103 [45] 

𝜆௔௜௥, W/m/K 2.57∙10-2 [45] 

𝜌௔௜௥, kg/m3 1.21 [45] 

 

Figure 2a compares the measured and simulated pressure transients. Results calculated by both the 
former adiabatic blowdown model [27] and the non-adiabatic blowdown model described in this 
paper are presented. The presented in Table 2 and 3 tank parameters and gas properties were used 
in the simulations. Figure 2b shows experimental and simulated temperature dynamics. 
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(a)                                                                        (b) 

Figure 2. Measured and simulated pressure (a), and temperature (b) in the 19 L, 70 MPa Type IV 
tank. 

The simulated by both models pressure do not differ significantly. Yet, the non-adiabatic model 
reproduces the pressure closer to the experiment. However, there is a drastic difference in the 
temperature dynamics simulated by the two models. The adiabatic model shows that in the absence 
of heat transfer from the surroundings through the tank wall to hydrogen, the hydrogen temperature 
drops in 5 min down to an unrealistic 33 K (Fig. 2b). Contrary, the non-adiabatic model closely 
reproduces measured temperature dynamics, including the characteristic temperature minimum, 
with a deviation from measured temperature within 6%.  

3.2. Validation against the fire test (tank without TPRD) 

The two destructive fire tests with identical 36 L Type IV hydrogen tanks filled with a pressure 
equal to NWP=70 MPa were performed at KIT within the EU H2FC research infrastructure project. 
Table 4 shows the tank parameters and thermal properties of the composite and the liner.  

The premixed methane-air burner with HRR/A=0.62 MW/m2 was used inside the large enclosure 
[46]. The heat flux from the fire to the tank in this validation experiment is defined by 3D 
simulations as  𝑞"=3.8 ∙ 10ିହ𝑡ଶ-6.6 ∙ 10ିଶ𝑡+50161. To exclude hydrogen reaction with air after the 
tank rupture, the enclosure was filled with nitrogen. The FRR was 8 min 3 s  for the new tank and 
9 min 42 s for the “old” tank (passed cycling test), respectively. 

Table 4. Tank parameters and thermal properties of liner and composite in the destructive fire 
tests. 

Parameter Value Reference 

Dimensions 

𝑉, L 36 [47] 

𝐷௜௡, mm 262 [47] 

𝐷௢௨௧, mm 325 [47] 

𝐿, mm 910 [47] 

HDPE liner 

𝑆ு஽௉ா, mm 5.27 [48] 

𝜆, W/m/K 0.4@293 K, 0.2@423 K* [49] 

𝑐௣, J/kg/K 2000@293 K, 2600@423 K* [49] 

𝜌, kg/m3 940 [49] 

CFRP structural layer 
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𝑆஼ிோ௉, mm 22.26 [48] 

𝜆, W/m/K Correlation [38] 

𝑐௣, J/kg/K Correlation [38] 

𝜌, kg/m3 1360 [42] 

𝐻ௗ, J/kg 3.50∙105 [50] 

𝑇ௗ, K  554-683 [38] 

                Note: * - linear function applies within the specified ranges. 

 

It is worth noting that the 36 L tank had a different wall and liner thickness in the dome part and the 
cylindrical part of the tank: dome part had a liner thickness of 5.27 mm and CFRP thickness of 
22.26 mm; the sidewall part had a thinner liner of 3.8 mm and thicker load-bearing wall of 27.75 
mm [15],[47],[48],[51]. Thus, the dome part of this tank defines the FRR. This was confirmed by 
3D CFD simulations. In the dome, the thinner composite is sufficient to provide the same 
mechanical strength as the thicker cylindrical part due to mainly helically wound layers of the 
composite layup. To connect the liner and the metal boss, liner thickness tends to increase in this 
part. The tank developers and manufacturers should pay attention that the thickness of the composite 
wall should be the same throughout the tank surface to account for the tank’s proper performance 
in a fire not only in the burst test. 

The regulations require that the minimum burst pressure to NWP ratio is 2.25, i.e. 𝑃௕.௠௜௡.=2.2570 
MPa=157.5 MPa. The fraction of the wall thickness that can bear NWP=70 MPa is, as was 
mentioned above, 1/2.25=0.44. This makes the wall thickness fraction that able to bear an extra 
load, hereafter referred to as “load+”, as 1-0.44=0.56 at NWP. 

In fire conditions, hydrogen temperature inside the tank grows. Consequently, the pressure increases 
above initial NWP=70 MPa forcing the load-bearing wall thickness fraction to increase, i.e. move 
outwards. Thus, the “load+” fraction of the wall thickness decreases. The fire degrades the 
composite resin starting from the tank external surface. The resin degradation front moves inwards. 
The failure mechanism that is applied in our studies assumes that the composite structural integrity 
is lost and a tank ruptures when the resin decomposition front meets the transient load-bearing 
fraction of the wall thickness. The model calculates how the load-bearing wall thickness fraction 
and the resin decomposition front move towards each other and the time when they meet, i.e. time 
of tank rupture (FRR). Alternatively, they may not meet, e.g. as a result of hydrogen release through 
TPRD or by other proven means that exclude tank rupture, e.g. the explosion free in a fire TPRD-
less tanks.  

There is a number of other known mechanisms applied for analysis of mechanical failures of 
composite, especially when using the finite element method. Those include such theories as 
maximum principal stress, equivalent stress, maximum principal elastic, equivalent strain theory etc 
[52]. This would require many complications such as hoop and helical winding patterns, fibre 
orientation etc. Ulster’s model in turn, shows a reasonable accuracy with inclusion of other 
substantial physical phenomena necessary, as will be demonstrated further in this paper. 

Table 5 presents the input parameters used in the model for hydrogen and ambient air properties to 
simulate the FRR of tanks in the destructive validation fire tests (tank parameters and properties are 
given in Table 4).  

Table 5. The model input parameters for destructive fire tests simulations. 

Parameter Value Reference 

𝑐௣,௚, J/kg/K Interpolated function [37] 
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𝜆௚, W/m/K Interpolated function [37] 

𝛽, 1/K Interpolated function [37] 

𝑅ுమ
, J/kg/K 4124.24 [37] 

𝛾ுమ
 1.41 [37] 

𝑏, m3/kg 7.69∙10-3 [44] 

𝑀ுమ
, g/mol 2.016 [37] 

𝑇௔௠௕, K 308 Assumption 

𝑃௔௠௕, Pa 1.01∙105 Assumption 

𝑇ଵ
଴, K 308 KIT experiment 

𝑃ଵ
଴, Pa 7.01∙107 KIT experiment 

𝜌ଵ
଴, kg/m3 3.87∙101 Eq. (29) 

𝑚ଵ
଴, kg/m3 1.39 Eq. (30) 

 

Figure 3a compares the experimental and simulated pressure transients during the destructive fire 
test. Figure 3b shows experimental and simulated temperature dynamics inside the tank. Both the 
pressure and the temperature calculated by the model are in good agreement with the experiment 
[46]. 

   

                                      (a)                                                                        (b) 

Figure 3. Experiment and simulated pressure (a) and temperature (b) dynamics during the 
destructive tank fire test. 

Figure 4 shows two experimental FRR, i.e. FRR=8 min 3 s (new tank) and FRR=9 min 42 s (used 
tank), and the simulated by model FRR=530 s (8 min 50 s). The calculated FRR is just between the 
two experimental values of FRR. It is worth noting that the resin decomposition front is represented 
on the graph by the lower value of the resin decomposition temperature range, 𝑇ௗଵ, (red curve). 
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Figure 4. Two experimental [46] and simulated FRR. 

4. THE UNIVERSAL DEPENDENCE OF FRR ON HRR/A 

The HRR in a fire affects the FRR of a tank [15]. The specific heat release rate HRR/A, i.e. the heat 
release rate divided by the fire area, is a more universal parameter for scaling and comparison of 
different fire sources. The higher is the HRR/A the higher is the heat flux into the tank wall. The 
higher heat flux accelerates resin decomposition and this results in a shorter time to tank rupture 
(FRR). Figure 5 shows the universal dependence of the FRR on the specific heat release rate HRR/A. 
The FRR decreases with the increase of HRR/A and reaches a horizontal asymptote or “plateau” of 
4-6 min at HRR/A>1-2 MW/m2. This is exactly the HRR/A characteristic for fires with a spill of 
gasoline/diesel.  

 

Figure 5. The FRR as a function of HRR/A [13]-[15], [46], [48], [53]-[55]. 

The experimental FRR points at HRR/A=0.29 MW/m2 and HRR/A=0.62 MW/m2 are obtained for 
36 L and 70 MPa Type IV tanks in engulfing fire tests with a premixed methane-air (𝐶𝐻ସ-air) burner 
in the closed facility filled in by nitrogen [46]. Previously performed CFD simulations of these two 
tests are shown by light purple triangles. 
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The experimental FRR points with propane (𝐶ଷ𝐻଼) diffusion burner and HRR/A=0.65 MW/m2 and 
HRR/A=1.63 MW/m2 are obtained in the USA engulfing fire tests with under-vehicle (88 L, 35 
MPa) and stand-alone (72.4 L, 35 MPa) tanks respectively [14],[53]. The stand-alone Type IV tank 
fire test is well reproduced numerically (blue square). No simulations of FRR of the in-situ tank 
were performed due to the absence of experimental details on the geometry and location of the tank 
and a burner in USA test. 

The experimental FRR points with n-heptane (𝐶଻𝐻ଵ଺) engulfing pool fires at HRR/A=2 MW/m2 and 
HRR/A=4.27 MW/m2 are derived from the fire tests with 36 L and 100 L Type IV tanks with 
NWP=70 MPa respectively [54],[55].  

The numerical experiments with the propane localised fire source and 36 L, 70 MPa Type IV tank 
at HRR/A=0.2-2.3 MW/m2 (hollow light grey symbols) are in agreement with the experimentally 
observed dependence of the FRR on the HRR/A.  

The experimental FRR point with premixed hydrogen-oxygen (𝐻ଶ-𝑂ଶ) jet fires affecting the tank at 
HRR/A=7.45 MW/m2 is for 36 L, 70 MPa Type IV tank [13] (green diamond symbol). The FRR 
test with hydrogen jet fires affecting the tank ultimately confirms the universal character of the 
revealed correlation between the FRR and the HRR/A [13]. 

Figure 6 shows the progression in time of the resin decomposition front and the increase of the load-
bearing wall thickness fraction (proportional to the increase of pressure inside the tank). These were 
calculated by the presented in this paper model for 36 L, 70 MPa Type IV tank in fires of three 
different HRR/A: 1 MW/m2, 0.62 MW/m2 and 0.29 MW/m2. For the HRR/A=0.29 MW/m2 fire the 
heat flux derived from 3D CFD simulations is 𝑞" = 2∙ 10ିଵଵ𝑡ହ - 8∙ 10ି଼𝑡ସ + 1∙ 10ିସ𝑡ଷ - 0.0288𝑡ଶ 
- 24.69𝑡 + 30624 (𝑞" for fires with two other HRRR/A are given above). Figure 6 demonstrates that 
the FRR is decreasing with the increase of HRR/A: FRR=836 s for HRR/A=0.29 MW/m2, FRR=554 
s for HRR/A=0.62 MW/m2, FRR=411 s for HRR/A=1 MW/m2. In these 3 numerical tests, the initial 
hydrogen temperature was 293.15 K and the pressure was 70 MPa. It is worth noting that these 
initial conditions slightly differ from those in the KIT experimental fire test with HRR/A=0.62 
MW/m2, i.e. 308 K and 70.1 MPa respectively, as also indicated in Table 5. For this reason, the 
FRR=530 s in the validation simulations (Figure 4) is by 24 s lower than the FRR=554 s for the 
same HRR/A in Figure 6.  

 

Figure 6. Location of the resin decomposition front (descending lines), load-bearing wall thickness 
fraction (ascending lines, left y-axis), the pressure (ascending lines, right y-axis) and the FRR 

values in seconds for fires of three different intensities: HRR/A=1 MW/m2, 0.62 MW/m2 and 0.29 
MW/m2 (36 L, 70 MPa Type IV tank without TPRD). 
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Figure 6 demonstrates that the increase in fire intensity (HRR/A) significantly increases the rate of 
resin decomposition and thus reduces the time to rupture (FRR). The standard fire test protocol must 
account for this observation. The absence of HRR/A control in the previous fire test protocol is a 
reason for poor fire test reproducibility. Control of HRR/A in fire test cannot be substituted by fire 
temperature control around the tank as this could implicitly reduce HRR/A in standard fire test 
below HRR/A in realistic gasoline/diesel fires. Opposite to the strong changes in the decomposition 
front propagation velocity, only a slight increase of the pressure growth in the tank and thus load-
bearing wall thickness fraction propagation outwards is observed for HRR/A changes in the wide 
range 0.29-1.00 MW/m2.  

Thus, the development of a fire test protocol based on the control of temperature around the tank 
only and ignoring the role of HRR/A on the FRR is ill-posed in our opinion. This may bring serious 
safety concerns for the public. For example, from three considered fires only the fire test with 
HRR/A=0.29 MW/m2 will allow passing the localised fire test which requires the tank not to rupture 
for 10 min (600 s) until TPRD is initiated after extending the fire to engulfing part. Indeed, in fires 
with HRR/A=1 MW/m2 and 0.62 MW/m2, the tank will rupture during the localised portion of the 
fire test of 10 min duration before the TPRD will be initiated after switching to the engulfing fire. 

The right y-axis in Figure 6 shows the storage pressure. It effectively indicates the CFRP load-
bearing wall thickness fraction (left y-axis). The right y-axis starts from the value “0” on the border 
between the liner and CFRP (the liner does not carry any load). The storage pressure 70 MPa 
corresponds to the wall thickness fraction holding the NWP, i.e. 1/2.25=0.44, where 2.25 is the 
regulated CFRP vessel’s burst pressure ratio (BPR). The whole wall thickness of 27.75 mm holds 
2.25x70 MPa=157.5 MPa (see left and right y-axis in Fig. 6 respectively).  

5. TANK BLOWDOWN DYNAMICS WITHOUT AND WITH FIRE 

Figure 7a shows the dynamics of the load-bearing wall thickness fraction for the 36 L, 70 MPa tank 
equipped with TPRD of 1 mm diameter. Here, TPRD release is initiated simultaneously with the 
fire of HRR/A=1 MW/m2. In this example, the presence of fire practically does not affect the 
dynamics of the comparatively fast decrease of the load-bearing wall thickness fraction (left y-axis) 
due to the decrease of pressure during the blowdown (the same curves show the dynamics of 
pressure drop, right y-axis). The simulations demonstrated that after 605 s, when hydrogen pressure 
in the tank is already atmospheric, the liner melted through its entire depth. 

    

                                  (a)                                                                                (b) 

Figure 7. Blowdown dynamics of 36 L, 70 MPa Type IV tank through TPRD of 𝐷்௉ோ஽=1 mm 
without and with fire at HRR/A=1 MW/m2. (a) – load-bearing wall thickness fraction (without and 

with fire, left y-axis), hydrogen pressure (right y-axis) and resin decomposition front (with fire) 
dynamics, (b) - hydrogen temperature dynamics. 
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Figure 7b demonstrates that the presence of fire does not affect the temperature decrease dynamics 
in the tank during about the first 2.0-2.5 minutes. This time is required for heat to be transferred 
through the wall and liner to hydrogen. After this time hydrogen temperature reaches its minimum 
and then increases faster in the presence of fire as expected. The difference reaches 113 degrees 
when the simulation ends at 605 s when the liner fully melts in the test with fire. In this particular 
example, the melting of the liner does not make any effect as the pressure inside the tank is already 
atmospheric.  

6. VARIATION OF WALL THICKNESS WITH TANK DIAMETER 

Table 6 shows the parameters of five tanks with NWP=70 MPa based on published data (except 
some data of 244 L tank). To study the performance of the 244 L tank we obtained its wall thickness 
through the analysis of ratios of tank external diameter, 𝐷௘௫௧, over composite wall thicknesses, 
𝑆஼ிோ௉. It appeared that in 4 tanks, volumes of which varied between 7.5 L and 69.5 L, the averaged 
ratio 𝐷௘௫௧/𝑆஼ிோ௉ was found to be 15.45±3.75. The scatter ±26% can be explained by the fact that 
the BPR 2.25 for CFRP overwrapped tanks is the minimum requirement of the regulations to the 
ratio of the burst pressure to NWP and tank manufacturers are free to manufacture tanks with larger 
BPR. The close to averaged 𝐷௘௫௧/𝑆஼ிோ௉=15.9 was taken to determine the composite wall thickness 
for the 244 L tank, which totalled 33.36 mm. This thickness is used in our study. We assume in our 
study that in each tank, except in a 36 L tank, the thicknesses of the sidewall and the dome part are 
equal. It is worth noting, that from 36 L tank geometry we know that the composite in the dome part 
is thinner, which in our opinion is improper from a fire-resistance point of view.  

Table 6. Dimensions and properties of five 70 MPa tanks. 

Parameters 
Tank#1  

[56] 

Tank#2  

 [15],[47],[51] 

Tank#3 

[57] 

Tank#4  

[56] 

Tank#5  

 

𝑉, L 7.5 36 62.4 69.5 244 [2] 

𝐷௘௫௧, mm 1 186 325 437 457 530 [2] 

𝐿, mm 521 909 748 719 2154 [2] 

𝑆஼ிோ௉, mm 1 12.7 27.75 24.3 23.8 33.36 2 

𝑆ு஽௉ா, mm 1 3.56 3.8 3 4.83 3 3 

𝐷௘௫௧/𝑆஼ிோ௉ 14.646 11.712 17.984 19.202 15.885 4 

𝐿/𝐷௘௫௧ 2.8 2.8 1.7 1.6 4.1 

Note: 1 - data given for tank sidewall (cylindrical) part; 2 - assumption: composite thickness obtained 
from the close to average ratio 𝐷௘௫௧/𝑆஼ிோ௉=15.9; 3 - assumption; 4 - average 𝐷௘௫௧/𝑆஼ிோ௉ (sidewall) 
ratio. 

7. METHODOLOGY TO ASSESS FIRE PERFORMANCE OF TANK-TPRD SYSTEM  

Figure 5 above demonstrates that in fire conditions with HRR/A=1-2 MW/m2 characteristic for 
gasoline/diesel fire a tank could rupture as short as in 4 min. The TPRD must be initiated before this 
time. Thus, the parametric study is performed for the conservative delay time of TPRD initiation of 
3 min. Any faster TPRD activation will make the performance of the tank-TPRD system safer. Any 
longer TPRD initiation time is not acceptable to exclude a risk of tank rupture. To be on the 
conservative side and account for gasoline/diesel fires, HRR/A=1 MW/m2 is applied in this 
parametric study. Tanks of Type IV with NWP=70 MPa and HDPE liner are considered here and 
thus the calculations results in this work cannot be directly applied to other liner and composite wall 
materials. The liner thickness can be seen on graphs for each of the three tanks considered in this 
section. The methodology applied here for three tanks of volume 244 L, 62.4 L, 36 L can be applied 
to an arbitrary tank-TPRD system. For consistency, in this parametric study we assume that liners 
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in all tanks are made of HDPE, the composite overwraps are fully made of the same CFRP and 
thermal properties of all tanks’ materials are the same, as per Table 4 and Table 5. The initial tanks’ 
temperature and pressure in the numerical tests are assumed to be 293 K and 70 MPa respectively. 

7.1. Case of 244 L tank-TPRD system 

Figure 8 shows the propagation of the resin decomposition front, load-bearing wall thickness 
fraction (left y-axis) related to hydrogen pressure (right y-axis) and the liner melting front (blue 
colour steps) in the three numerical fire tests with HRR/A=1 MW/m2 for 244 L, 70 MPa tank-TPRD 
system for three different TPRD diameters: 0.5 mm, 0.75 mm, 1 mm. The system with the smallest 
TPRD diameter of 0.5 mm ruptures at 1457 s (24 min 17 s) when the resin decomposition front 
meets the load-bearing wall thickness fraction “front” (just before the liner melting through the 
entire depth). The system does not rupture if the TPRD diameter is equal to or larger than 0.75 mm 
until the full liner melting, which can be considered as an “additional” channel of hydrogen release. 
See section 7.4 on the effect of liner melting on the blowdown dynamics. 

 

Figure 9. Performance of 244 L, 70 MPa tank-TPRD system in a fire with HRR/A=1 MW/m2 for 
three different TPRD diameters: 0.5 mm, 0.75 mm, 1 mm.   

The study allows insights into the thermal behaviour of the tank equipped by TPRD of 
comparatively small diameter. The performance of the tank-TPRD system is not trivial. For 0.75 
mm TPRD when the pressure (right y-axis) drops to about 14 MPa at 1349 s, the liner melts through 
its depth. For TPRD of 1 mm, the liner fully melts at 1214 s when the pressure drops to about 6 
MPa. The melting of the liner allows hydrogen to leak through the wall in addition to the release 
through TPRD. 

It is worth mentioning the following published experimental observations. When the initial pressure 
inside a Type IV tank is substantially less than NWP the tank will leak and not burst in the fire [58]. 
For example, a series of fire tests were performed with 36 L tanks of NWP=70 MPa but with 
different initial pressure in the range of 10-70 MPa. Two tanks with initial pressure 70 MPa (100% 
NWP) and 52.5 MPa (75% NWP) ruptured in a fire but two other tanks with initial pressure 25 MPa 
(36% NWP) and 10 MPa (14% NWP) leaked in the fire tests without rupture. Indeed, when initial 
pressure is substantially below NWP there is substantial “load+” wall thickness to be passed through 
by the resin decomposition front before it reaches the “reduced” load-bearing wall thickness 
fraction, and thus more time is available to melt the liner before the tank burst and thus initiate 
hydrogen release through the wall. These experimental observations are in line with the presented 
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simulations of the tank-TPRD system performance in the fire demonstrating melting of the liner and 
thus leakage through the wall before tank rupture. Results of a study of the effect of the state of 
charge (SoC) of a tank, i.e. reduced compared to NWP initial pressure, on the possibility of tank 
rupture in a fire will be described in a separate paper. 

The experiments with three series of explosion free in a fire TPRD-less tank prototypes [24] 
demonstrated that if hydrogen leak through the wall starts after the liner melts then no tank rupture 
is observed. This could be explained by the expected increase of the leaking area of the wall as the 
wall thickness decreases significantly while the resin decomposition front propagates inwards. This 
innovative TPRD-less safety technology is out of the scope of this paper. Thus, we assume further 
in this study that after the liner melting the tank loses its tightness to hydrogen and no rupture of a 
tank will happen (see Fig. 8). This statement requires more experimental validation. 

Figure 9a shows the hydrogen temperature in the tank that obeys the observed previously and 
presented above behaviour, i.e. temperature decreases after TPRD release start due to hydrogen 
expansion and then increases when the heat transfer through the tank wall takes over with some 
delay (about 5 min for this large volume tank).  

  

                                        (a)                                                                     (b) 

Figure 10. (a) - hydrogen temperature dynamics in 244 L, 70 MPa tank during blowdown through 
TPRD=0.5 mm and TPRD activation delay of 180 s in HRR/A=1 MW/m2 fire; (b) - temperature 

profiles in the tank wall, including the liner. 

Figure 10b presents temperature profiles through the tank wall, including the liner, for the case of 
TPRD=0.5 mm for ten instances between the start of the fire and 1457 s (tank rupture time). The 
temperature of the tank surface (control volume 55) increases with time due to the fire. The 
temperature of the liner decreases at the beginning of the process due to the cooling of hydrogen 
during expansion. The heat flux from the fire propagates through CFRP, increases its temperature, 
then the liner temperature and starts to heat hydrogen after about 300 s of the release (about 480 s 
of the fire duration). 

7.2. Case of 62.4 L tank-TPRD system 

Let us consider the performance of a typical onboard hydrogen storage tank-TPRD system which 
includes a 62.4 L tank with two different TPRD diameters, i.e. 0.5 mm and 0.75 mm, with no TRPD 
activation delay and 3 min delay in a fire with HRR/A=1 MW/m2 as in the previous case. Figure 11 
shows the evolution of the resin decomposition front, the load-bearing wall thickness fraction, the 
pressure and the liner melting fronts in time. 
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Figure 11. Performance of 62.4 L, 70 MPa tank-TPRD system in a fire with HRR/A=1 MW/m2 
for two different TPRD diameters (0.5 mm and 0.75 mm), and TPRD activation delay 0 s and 180 

s. 

For all three simulated scenarios, the liner melts long before the resin decomposition front would 
reach the reducing in time load-bearing wall thickness fraction. Thus, we could conclude that a 
TPRD diameter as small as 0.5 mm is enough to exclude 62.4 L, 70 MPa Type IV tank with HDPE 
liner rupture in a fire if TPRD is initiated within 3 min of the fire. The situation with TPRD=0.75 
mm is inherently safer in sense of the tank rupture prevention. However, an increase of TPRD 
diameter would increase requirements to the garage minimum vent area to prevent its demolition by 
PPP (see section 7.5). 

7.3. Case of 36 L tank-TPRD system 

Figure 11 shows simulations of the thermal performance of the tank at the thinnest dome area of the 
36 L, 70 MPa tank-TPRD system with the TPRD activation delay of 3 min for two different TPRD 
diameters 0.45 mm and 0.65 mm.  

 

Figure 12. Performance of 36 L, 70 MPa tank-TPRD system in a fire with HRR/A=1 MW/m2, for 
two different TPRD diameters (0.45 mm and 0.65 mm), and TPRD activation delay 180 s. 
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The analysis of these simulations is presented in the next section and includes the effect of the liner 
melting of the blowdown dynamics in the fire conditions. 

7.4. The phenomenon of liner melting and its effect on the blowdown dynamics 

It has been demonstrated above that a TRPD diameter of fractions of a millimetre is sufficient for 
hydrogen tank blowdown in a fire without rupture. It is shown that for tanks of storage capacities 
244 L and 62.4 L the TPRD diameters 0.75 mm and 0.5 mm, respectively, can prevent tank rupture. 
The numerical study revealed the phenomenon of liner melting in the case of the use of TPRD of 
smaller diameter. The liner melting initiates microleaks of hydrogen through the composite wall 
which is not tight to hydrogen. This “additional” to the TPRD release of hydrogen assists the 
blowdown.  

The explosion free in a fire TPRD-less tank of 7.5 L, 70 MPa is designed to leak through the wall 
after melting the liner. The fire testing of this innovative TPRD-less tank demonstrated the 
following. The leaks through the wall are in a form of microleaks. The equivalent diameter of these 
microleaks is changing at the final stage of the fire test from about 0.29 mm to about 0.70 mm at 
the end (at this stage pressure drops from around 15 MPa to the atmospheric pressure. 

The studied in the previous section two numerical blowdowns in the fire of the 36 L tank-TPRD 
system showed (see Fig. 11) that liner melted for TPRD=0.45 mm at time 759 s when the pressure 
in the tank was 1.5 MPa, and for TPRD=0.65 mm at 869 s when pressure was 7.2 MPa. Because the 
leak in the first fire test was initiated at very low pressure we assume the equivalent leak diameter 
0.7 mm, as per the final blowdown stage in the fire tests with TPRD-less tanks. In the second test, 
the “additional” leak through the wall after liner melting was initiated at pressure 7.2 MPa. Hence, 
an intermediate between 0.29 mm and 0.7 mm leak diameter of 0.495 mm can be assumed. To scale 
the leak equivalent area from 7.5 L to 36 L tank in the assumption that microleaks are equally 
distributed across the tank wall, we compare the ratio of the internal surface of 7.5 L and 36 L tanks. 
The internal surface area in the 7.5 L tank is 0.143 m2 and it is 0.63 m2 for the 36 L tank. The surface 
area ratio is then 0.63 m2/0.143 m2=4.41. We apply this scaling factor to the areas of equivalent 
leaks, i.e. leak through the equivalent diameter of 0.7 mm (test with TPRD=0.65 mm) and 0.495 
mm (test with TPRD=0.45 mm) and then add them to the respective areas of TPRD. The new total 
increased release diameter is then 1.61 mm and 1.13 mm respectively. To represent the additional 
leak numerically, we switch from the initial TPRD orifice to the new increased diameter at the 
moment when the liner is fully melted. Bearing in mind that this is the theoretical study, the 
experimental validating of these results is needed.  

Figure 11 shows that the case with TPRD=0.45 mm is naturally less “conservative” as the resin 
decomposition front and load-bearing wall thickness fraction are about 1.5 mm apart at 869 s when 
the liner is fully melted and the additional release (blue dash curve) was initiated. In this numerical 
fire test, the resin decomposition front meets the load-bearing wall thickness fraction (factually 
meaning “numerical rupture”) at 1005 s when the tank pressure is only 578 kPa. The TPRD=0.65 
mm test demonstrates for almost complete blowdown even before the liner melts at 759 s (tank 
pressure drops to 1.5 MPa). The “load+” thickness, in this case, remained almost 4 mm, and it can 
be seen that the additional leak through the wall provides a safe blowdown. In both simulated tests, 
we can observe the liner melting front slightly raises immediately after it was fully melted, and then 
descending again. This is due to the temperature decrease at the moment of starting the additional 
release through the wall (similarly to temperature dynamics in Fig. 7b). It also is worth noting, that 
the additional leak takes place when the pressure in the tank essentially reduced and thus it does not 
influence the PPP that is defined by the original TPRD diameter. 

7.5. Requirements to TPRD diameter to exclude the pressure peaking phenomenon  

It is highly unlikely that passenger cars would use onboard storage tanks with volume as large as 
244 L. This means it is not necessary to consider the PPP in a garage [19]–[22] for tanks of large 
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volume such as 244 L. Thus, only 62.4 L and 36 L tank-TPRD systems are considered in this section 
concerning the PPP. Let us assume a residential garage of 30 m3 volume. The pressure dynamics in 
the garage can be calculated using the PPP tool of the free access online e-Laboratory of Hydrogen 
Safety [59],[60] by application of the model for ignited release [20]. The garage vents of total size 
changing from one brick (50x250 mm) to four bricks (200x250 mm) are considered. Figure 13a and 
12b show overpressure dynamics in the garage for releases from 62.4 L and 36 L tanks respectively 
for different TPRD diameters and different garage vent sizes. 

    

                                        (a)                                                                      (b) 

Figure 13. The PPP overpressure dynamics in 30 m3 garage and structural damage threshold A (10 
kPa [17], [61]) and threshold B (17.3 kPa [62]): (a) - 62.4 L, 70 MPa tank-TPRD system; (b) - 36 

L, 70 MPa tank-TPRD system. 

The releases from 62.4 L tank through 0.5 mm and 0.75 mm TPRD diameters in the garage with 
one brick size (50x250 mm) give overpressures above 10 kPa (threshold A, [17],[61]). The increase 
of vent size to two bricks (100x250 mm) for TPRD=0.5 mm decreases the overpressure to an 
acceptable 6 kPa. Only four bricks vent (200x250 mm) is sufficient to reduce the PPP overpressure 
to an acceptable 7 kPa for TPRD=0.75 mm. As expected, TPRD=0.5 mm is preferable to 
TPRD=0.75 mm from the PPP point of view in low ventilation garages which are characteristic for 
cold climate locations (while both TPRDs prevent the tank rupture).  

Figure 13b demonstrates that for a 36 L tank the overpressure is above threshold A of 10 kPa for 
both TPRD sizes if the garage vent size is equal to one brick area (50x250 mm). For TPRD=0.45 
mm, the two bricks vent (100x250 mm) decreases the overpressure to an acceptable 4.2 kPa. For 
TPRD=0.65 mm, the three bricks vent area (150x250 mm) decreases the overpressure to an 
acceptable 7 kPa. 

For hydrogen applications with onboard tanks of 70 MPa and volumes 36-62.4 L and HDPE liner, 
it is inherently safer to use TPRD diameters of 0.45-0.5 mm for blowdown in a fire to satisfy 
requirements for the prevention of the PPP consequences in a garage. However, it should be 
underlined that garages with vent size equal to or below one brick vent area (50x250 mm) can 
undergo negative consequences of the PPP and it is worth having a vent area of at least two brick 
vent size (100x250 mm).  

CONCLUSIONS 

The originality of this study is in the development of a comprehensive model of non-adiabatic 
thermal behaviour of a composite tank-TPRD system in a fire. The model accounts for the main 
underlying physical phenomena, including the composite resin thermal degradation and melting of 
the liner, etc. The phenomenon of liner melting during non-adiabatic blowdown of a tank through a 
reduced diameter of a TPRD orifice is revealed for the first time in the numerical experiments. The 
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“additional” leakage of hydrogen through the composite wall after the liner melting facilitates the 
inherently safer hydrogen blowdown from the tank in a fire. 

The significance of the study is in the provision for the first time of the validated model and the 
methodology to design inherently safer tank-TPRD systems to prevent tank rupture in fires yet 
account for the mitigation of the pressure peaking phenomenon in a garage. 
The universal dependence of the FRR decrease with the increase of HRR/A is established. The 
“asymptotic” minimum of FRR=4-6 min for investigated tanks is observed at HRR/A>1-2 MW/m2 
which is characteristic for gasoline/diesel fires. Fire test with lower HRR/A could artificially 
“increase” the FRR thus, allowing to pass the localised portion of the fire test. However, this could 
create serious safety concerns for public safety and property protection. 

The FRR is an important parameter required by firemen to develop intervention strategies and 
tactics. The requirement of FRR experimental measurements, i.e. performing fire test without 
TPRD, must be added to the relevant regulations to account for the first responders' demand.  
The exclusion of rupture of the studied Type IV tanks with NWP=70 MPa can be provided using a 
TPRD diameter of 0.75 mm for 244 L tank, 0.5 mm for 62.4 L tank, and 0.45 mm for 36 L tank. 
For releases in a garage from a passenger car (from onboard storage tanks 62.4 L and 36 L), at least 
two bricks total size vent area (100x250 mm) is needed to prevent the destructive consequences of 
the PPP on a structure. 

The rigour of this study is in the model validation against experimental data on the blowdown of 19 
L, 70 MPa Type IV tank with helium and 1 mm TPRD orifice, and the destructive fire test with 36 
L, 70 MPa Type IV hydrogen tank with HDPE liner. The strength of the model is underpinned by 
the inclusion of all main physical phenomena affecting the complex process of heat and mass 
transfer during high-pressure hydrogen tank blowdown in fire conditions. 

The dependence of FRR on HRR/A was built using experimental data, including tanks with 
NWP=35 MPa and 70 MPa of Type III and IV of different volumes and burners with different fuels. 
The developed model reproduces the experimental dependence of the FRR on the HRR/A.  
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